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ABSTRACT 
 
In the present paper undamaged and repaired honeycomb sandwich beams are 
modelled using finite elements analysis. Under static loading, the stiffness of the 
beams was predicted successfully, but the failure load was more difficult to obtain 
accurately. A quasi-three-dimensional model was best suited to representing the 
overall deformation pattern of the repaired beams, whereas a two-dimensional plane 
strain model allowed evaluation of the details of different repair designs. 
 
1 INTRODUCTION 
 
In the first part of these papers [1] the experimental characterisation of undamaged 
and repaired sandwich beams was described. The investigation presented there was 
part of a much larger study which also covered the fatigue behaviour of such beams 
[2]. In the present second part the behaviour of the beams under static loading is 
modelled using a finite elements analysis approach. 
 
As described in [1], the beams, which had 0.6mm thick two-ply carbon fibre-
reinforced plastics (CFRP) skins on a 15.8mm Nomex honeycomb core, were 700mm 
long and 100mm wide. The skin material was a five-harness satin weave prepreg 
(F914C), composed of Toray T300 carbon fibres and Hexcel 914 epoxy resin, and 
manufactured by Hexcel (UK). One face had an inner [45/-45] ply (i.e. the fabric warp 
direction was at 45° and the weft direction was at -45°) and an outer [0/90] ply. This 
face, called the tool face (TF), contained the repair if present. The lay-up on the other 
face, called the bag face (BF), comprised two plies, of the same material, but both at 
[0/90] to ensure that failure occurs first on the tool face.  
 
Although simple bending theory is perfectly adequate for predicting beam stiffness 
and the stress versus strain distribution in uniform beams, it is less satisfactory when 
there are discontinuities, as when one skin contains a repair.  For the latter reason, 
finite element (FE) methods are used in the present paper to predict stiffness, strain 
distribution, and failure, of both undamaged and repaired beams. 
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2 UNDAMAGED BEAMS 
 
2.1 Introduction 
 
The flexural behaviour of the undamaged beams was modelled using the 
commercially available finite element (FE) package, ABAQUS. The performance of 
several different degrees of idealisation was assessed. Simplifying assumptions were 
formulated for all the models and include: 
 
• The contact areas, at the load-introduction points, were not modelled. 
• Identical tensile and compressive elastic properties of the materials. 
• Linear-elastic deformation was present. 
 
A three-dimensional (3D), a quasi three-dimensional (quasi-3D) and a two-
dimensional (2D) approach were used. The models were created using the PATRAN 
pre-processor and were run on a DEC workstation. The calculated results were output 
using the ABAQUS post-processor (i.e. a graphic interface). 
 
The mechanical properties of the materials used on the sandwich beams are presented 
in Table 1. It may be noted that the facings, the core and the adhesive were idealised, 
in the 3D and 2D models, with at least one element through the thickness, and the 
composites’ mechanical properties were not homogenised through the face-thickness. 
A mesh-sensitivity analysis was performed for all models. The variation of maximum 
deflection and axial surface strains were analysed using FE models with a finer and 
finer mesh. A suitable mesh was established once a plateau in the calculated values of 
stresses and strains was found. 
 
The stresses and strains were calculated at the element integration points, but the 
value of stresses in the output file were determined at the nodes by extrapolating the 
stresses from the integration points. The calculated deflection and axial strain fields on 
the TF of the beams are compared with the experimental results [1]. 
 
An attempt to calculate the failure load of the undamaged beams is also made in the 
present paper. Different failure criterion, having different level of complexities, may 
be used to calculate the failure load of structures. However, the approach taken here is 
the simplest, and a failure criterion available in most FE packages was chosen. In the 
present study, the stress outputs from the 3D model were used in conjunction with the 
Tsai-Hill criterion to predict the first-ply failure load. 
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Table 1: Properties of the woven materials used on the sandwich beams 
 
 F914C [0/90]$ F914C [45/-45]$ Core$ Redux 319£ 
E1=E2 (GPa) 67 17.1 0.28E-3 3.78 
E3 (GPa) 9 9 0.62 3.78 
ν12 0.03 0.75 0.49 0.4* 
ν13 =ν23 0.3 0.076 0.0045 0.4* 
G12 (GPa) 4.9 32.5 0.07E-3 1.35 
G13 (GPa) 4.9 4.9 76E-3 1.35 
G23 (Gpa) 4.9 4.9 121E-3 1.35 
S1=S2 (MPa) 
 
553 (Tension) 
525 (Compression) 
150 (Tension) 
160 (Compression) - 64.5 
S12 (MPa) 150 - - - 
γay - -  0.05 
γaf - - - 0.35 
σay (MPa) - - - 50 
σaf (MPa) - - - 60 
$ From Ref [3], £ from Ref [4], * estimated values. Note: symbols are defined in the 
Notation Section. 
 
2.2 The FE Models 
 
Three different FE models were studied and are described below. 
 
2.2.1 3D brick element model 
A three-dimensional model, which includes the load spreaders and the rubber pads, 
was constructed, as shown in Figure 1. (See [1] for full experimental details.) The 
model was run with the TF in compression or in tension. Eight-node linear brick 
elements with incompatible modes (C3D8I) were used to model the skin and the core. 
As many as 140 elements along the length and 8 elements across the width were used, 
as it is important to keep these first-order elements rectangular in shape. One element 
per ply across the thickness of the skins and two elements across the thickness for the 
core were used. The materials were modelled as orthotropic solids. The adhesive 
between the core and the CFRP faces was included and was modelled as an isotropic 
medium.  
 
The boundary condition option was used to model the outer supports as ‘line 
supports’. One support was rigidly fixed in space (i.e. all nodes on the lines of action 
were fixed in translation), whereas only translation along the length of the beam was 
allowed on the other support.  The load spreaders and the rubber pads were modelled 
using eight-node linear brick elements (C3D8). The Young’s modulus and Poisson’s 
ratio of the steel load spreaders were taken as 220GPa and 0.3, and values of 3.5MPa 
and 0.49 were assumed for the rubber pads. A prescribed load was applied on the load 
spreaders. A total of 56473 nodes and 9152 elements were used for the model. 
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2.2.3 Quasi-3D shell element model 
A quasi three-dimensional model of a 100mm wide undamaged beam was created to 
allow a comparison with the above 3D model. General purpose, eight-node, reduced 
integration, thick shell elements (S8R) were used. These elements can be used in 
ABAQUS with a ‘COMPOSITE’ parameter whereby ply orientation and orthotropic 
properties can be identified. There were 70 elements along the length and 12 across 
the width. As many as 40 elements were used in the region between the loading 
points. The resulting mesh is shown in Figure 2. 
 
The S8R element has five degrees of freedom; three displacement components and 
two in-surface rotations.  The outer supports were represented as boundary conditions. 
One support was rigidly fixed in space (i.e. all the nodes on the line of actions were 
fixed in translation), whereas only translation along the length of the beam was 
allowed on the other support. In addition all rotations, except that allowing the beam 
to bend, were prevented on one node of the first support. The loading points were 
modelled as a uniformly distributed load to a region equivalent to the area of the 
rubber pads, as shown in Figure 2. 
 
2.2.3 2D plane strain model 
Two-dimensional sections along the beam’s length were modelled. Four-node, 
bilinear with incompatible modes, quadrilateral elements (CPE4I) were used. The 
main feature of this model is the plane strain assumption (i.e. the cross-wise strain is 
zero) which reduces the analysis to a two-dimensional problem.  
  
The skins were modelled with one element per ply thickness. Eight elements across 
the core thickness were used. The adhesive layer between the core and the skins was 
modelled. 2720 elements were used in total. As many as 160 elements per ply were 
used in the constant bending moment area. Details of the mesh and boundary 
conditions are shown in Figure 3. 
 
The boundary conditions were applied at nodal points; one support was rigidly fixed 
(i.e. one node is prevented from translating in all directions), whereas the other 
support is only allowed to move along the length of the beam. The loading was 
applied to one node located at the centre of the load spreaders. Orthotropic plane 
strain properties were employed for the constituent materials. 
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 Figure 1:  3D brick element models of an undamaged beam 
 
 
 
Figure 2: Quasi-3D shell element model of an undamaged beam 
 
 
 
 
Figure 3:  2D plane strain model of an undamaged beam 
 
 
2.3 Stiffness Predictions 
 
2.3.1 Deflections 
The deflected shapes of the undamaged beams are shown in Figure 4 for the three 
different FE models. The brick element model is the most complex. The shell model 
shows a quasi-3D deformation field, since the details in the through-thickness 
direction have been partially lost. The shell model can only output in-plane direct 
stresses and strains (although through-thickness stresses may be estimated in thick 
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shell elements). The plane strain model is a compromise between the other two 
models; the deformation field is 2D, but it retains some of the through-thickness 
details of the 3D model. 
 
           
 
Figure 4: Deflected shape of the models of the undamaged beams 
 
The deflections, measured at an edge of a 100mm wide beam tested with the TF 
loaded in compression [1], are compared with the results from the different FE 
approaches in Figure 5. It may be seen that the 3D and the quasi-3D models lead to 
almost identical predictions. The 2D plane strain model predicts deflections smaller 
than those measured experimentally, i.e. the model is stiffer than the actual beam. The 
calculated deflections are nevertheless all within 10% of the measured values. 
 
2.3.2 Axial strain distribution 
A comparison between the experimentally measured strain distribution on the TF of a 
100mm wide beam loaded with the TF in compression [1], and the corresponding 
numerical predictions is shown in Figure 6. The axial surface strains, at a load of 
43.8N/mm width, are shown from a load introduction point (0mm) to the centre of the 
length of the beam (125mm). It may be seen that the brick and the shell models are in 
 7 
good agreement with the experimental results of the CCND5-5(2) beam, with the 
calculated strains being within a few percent of the measured ones. The predictions 
are poorer in the case of the CCND5-5(1) beam,  but are still within about 10%.  
 
In Figure 6, it may be noted that the distribution of strain along the length of the beam 
for the 3D model shows an increase in strain close to the load introduction point. This 
small peak in strain is due to the localised effect of the load spreaders. A similar effect 
may be seen on the predictions of strain from the 2D model. However, it may be noted 
that the Quasi-3D model, due to the simplified through-thickness assumptions of the 
elements used, does not predict a peak in the strain close to the loading point. 
 
With the exception of a region close to a load introduction point, the axial surface 
strain distribution, over a beam’s half length, is seen to be constant for all the three FE 
models. Therefore the basic condition of a constant bending moment in the region 
between the loading points is generally satisfied. 
 
It may further be seen that the plane strain model under-predicts the experimental 
strains and always yields results lower than those of the shell or the brick element 
models. The calculated results are lower by about 10% if compared with experimental 
results of the CCND5-5(2) beam. Furthermore, the predicted strain distribution is 20% 
lower than the CCND5-5(1) readings. This discrepancy can be explained if the 
variation of strain with applied load is considered. In Figure 7 the strain measured at 
the centre of the TF of the CCND5-5(1) and the CCND5-5(2) beams tested with the 
TF in compression are compared with the predictions from the 3D brick element 
model. It may be seen that the CCND5-5(1) trace departs from linearity at about 
3000N, whereas the onset of non-linearity is at a higher load for the CCND5-5(2) 
beam. This behaviour may be attributed to the damage occurring in the facing 
materials. Consequently, all the traces overlap at low loads, but depart from the linear-
elastic prediction as the load is increased, with the deviation becoming quite 
significant at 43.8N/mm, which corresponds to the data shown in Figure 6. Thus, a 
model that includes damage progression in the facing materials would be needed to 
completely characterise the behaviour of the beams. The calculated results are 
nevertheless seen to be in good overall agreement with the experimental results. 
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Figure 5:  Experimental and computed deflection at the edge of the undamaged 
100mm wide beam; TF in compression 
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Figure 6:  Experimental and computed axial strain distribution for the 
undamaged 100mm wide beam; TF in compression 
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Figure 7: Experimental and computed variation with applied load of 
strain on the TF of the 100mm wide beams 
 
2.3.3 Comparison of the FE models 
 
3D models involve the use of continuum brick elements which allow the 3D 
deflection field to be accurately characterised and the corresponding stress and strain 
fields to be determined. Consequently, the 3D technique may offer the best 
idealisation, when compared with other approaches. The quasi-3D shell idealisation 
allows the complex way the beams deform to be accurately modelled, and it therefore 
accurately predicted the stiffness of the sandwich beams. 
 
However, the predicted deflections and surface strains from the 2D plane strain model 
were smaller than those from the 3D approaches. This is undoubtedly due to the 
assumption of zero lateral strain (i.e. plane strain) in the 2D model. Indeed, beams 
subjected to flexure deform in a complex manner and Poisson’s ratio effects induce a 
cross-wise bending that produces the well-known anticlastic curvature. In the plane 
stress assumption, the lateral moment (leading to the lateral stress) is assumed to 
vanish, while for the plane strain assumption the lateral curvature (leading to the 
lateral strain) is assumed to vanish. Assuming isotropic behaviour, an elastic analysis 
tells us that the difference in bending stiffness of a narrow beam (i.e. plane stress) 
compared with that of a wide plate (i.e. plane strain) is in the ratio 1/(1-ν2) [5], with ν 
being the in-plane Poisson’s ratio. A calculation, based on the results from the present 
3D model, show that the plate’s equivalent Poisson’s ratio is ν = 0.3. Thus, because 
the ratio is about 1.10, a plate bending like a beam is about 10% stiffer than a beam. In 
the present case the overall effect for the 2D plane strain model is that the beam is 
modelled to be too stiff. Lateral strains can take place over the width of the beams, 
and the exact solution may fall between the plane strain and the plane stress solutions. 
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However, although leading to a slightly stiffer prediction, the results from 2D plane 
strain model were nevertheless in good agreement with the measured values. 
 
2.4 Failure Predictions 
 
2.4.1 Introduction 
 
The FE models were seen above to lead to an accurate description of the deflection of 
the sandwich beams. An attempt to calculate the failure load of the undamaged beams, 
using the stress distribution results from the FE analysis models, is presented in the 
present section. The calculations were based on the results from the 3D brick element 
model. Undamaged beams, 100mm wide, were modelled with the TF loaded in 
compression and in tension. Two models were created in total (i.e. one model of each 
beam, with the TF in compression or in tension). 
 
A widely used failure criterion was chosen to calculate the failure load of the beams, 
namely the Tsai-Hill criterion. It is however recognised that many other criteria exist. 
The Tsai-Hill criterion was selected since it is well known and has been widely used 
in the past. Therefore, the axial (σ1) and transverse (σ2) stresses, calculated from the 
FE model at the centre of the TF of the beams, were used with the Tsai-Hill failure 
criterion to predict structural failure based on first ply failure. For a unidirectional ply, 
the Tsai-Hill criterion is [6]: 
 
σ σ σ σ σ1
2
1
2
1 2
1
2
2
2
2
2
12
2
12
2 1S S S S
− + + ≥  at failure Eqn. 1 
 
where subscripts 1 and 2 denote the directions along and transverse to the fibres 
respectively. The subscript 12 denotes the in-plane shear component. The terms σ1 
and S1 are respectively the resolved stress and the ultimate stress in the principal 
material direction 1, etc. Failure of the material occurs when the left-hand side of the 
equation reaches  a value of unity. It may be seen that it is a quadratic criterion and, if 
used in a linear analysis, the failure index (i.e. the left-hand side of Eqn. 1) and the 
associated failure load are therefore related by a square root factor. The failure loads 
of the beams were calculated by dividing the load applied to the 3D model by the 
square root of the failure index. The total load per unit width applied to the models 
was 43.8N/mm. 
 
2.4.2 Stress output 
The axial and transverse ply stresses, acting at the centre of the TF of a 100mm wide 
beam, are presented in Table 2 for the TF in compression. The stresses were read at an 
integration point within an element. The calculated results for the TF in tension were 
exactly equal to, but opposite in sign to, those in Table 2, and are not presented here, 
although they will be used to calculate the failure load of the beams tested with the TF 
in tension. 
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Table 2:  Computed ply axial and transverse stresses in the TF for an applied 
load of 43.8 N/mm. (TF loaded in compression.) 
 
Stress in the TF σ 1 (MPa) σ 2 (MPa) 
[0/90] ply -573 149 
[45/-45] ply -256 -150 
 
 
2.4.3 Calculation of failure loads 
Calculated failure loads (based on first ply failure) are compared with experimental 
results in Figure 8 for 100mm wide beams tested with the TF loaded in compression 
or in tension. It may be seen that the failure loads are underestimated in all cases. The 
[45/-45] ply is predicted to fail first, at about 30N/mm, for both loading modes. The 
[0/90] ply is predicted to fail next, at the higher load of 35N/mm. The experimental 
failure loads were all above 40N/mm but, of course, these correspond to final (last 
ply) failure. 
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Figure 8: Experimental and computed failure loads 
 
The predicted failure loads were in relatively poor agreement with the experimental 
observations for all the beams and we may question the validity of the strength values 
used in this work. The values used in the Tsai-Hill equation were taken from [3]. For 
instance, the tensile strength of the F914C fabric, with a [0/90] orientation, was given 
as S1=553MPa in Table 1. However, values of 539MPa and 572MPa have been 
quoted in references [7] and [8], respectively. However, such differences in the 
inputted strength properties would not completely explain the discrepancies between 
the experimental and predicted values of failure loads of the beams. 
 
More important is the nature of the quadratic, macroscopic, failure criterion. The Tsai-
Hill criterion as used here calculates a load for first ply failure, and so does not take 
into account the effect of the microscopic damage that precedes last ply failure. Most 
composite materials fail by a progressive degradation of their properties, rather than 
by sudden fracture. Damage development in woven composites is particularly 
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complicated, due the wavy nature of the fabric [9]. Modelling the stiffness behaviour 
caused by these damage modes and predicting the ultimate strength of these materials 
is a challenge. A method of predicting the damage evolution in cross-ply [0/90] woven 
fabric, that uses a simplified stress transfer model (i.e. shear lag analysis), was 
presented by Gao et al. [10]. Although the evolution of the different elastic constants, 
with respect of the applied strain, was successfully modelled, no attempts were made 
at predicting laminate failure. More complex analyses, e.g. McCartney [11], have 
recently been developed for laminates other than cross-ply (i.e. just 0° and 90° ply 
orientation), although they are limited to laminates fabricated from unidirectional 
layers. Again, no attempts were made at predicting laminate failure. 
 
The FE method may be used in conjunction with a classical interactive criterion to 
simulate damage evolution and predict the ultimate failure load of structures. Such 
analyses generally use shell elements in combination with a non-linear analysis [12]. 
The load is applied in steps and, if lamina failure is detected, the lamina properties are 
changed according to a particular degradation law. This iterative process is used for 
each load step until catastrophic failure of the structure is detected. A method such as 
this would have to be used in the present work if failure were to be accurately 
predicted. 
 
The prediction of the failure load of the beams has not therefore been possible in the 
present work due (a) to the complex way that CFRP materials fail, and (b) to the 
limitation of the failure criterion used. Indeed, it is necessary to take the progressive 
failure of the materials into account if the structural failure load is to be predicted, but 
such failure criteria are not yet standard in conventional FE packages. However, it 
may be noted that a method involving the use of small coupons, that mimic the way 
sandwich beams fail, has successfully predicted the beams’ failure load [2].  
 
3 REPAIRED BEAMS: MODELS 
 
3.1 Introduction 
 
The repaired beams were modelled using the LUSAS FE package (FEA Ltd.). The 
PC-based software, similar in performance to ABAQUS [2], is perfectly adapted to 
run linear and non-linear 2D and quasi-3D analysis on a modest computer (e.g. with a 
PENTIUM II processor). The use of the Windows environment allowed the design 
process to be greatly speeded-up and for this reason was favoured compared with the 
ABAQUS FE package run on a work-station. The LUSAS graphics post-processor 
was used for the reduction of the results.  
 
Two of the modelling approaches that were validated on the undamaged beams were 
used to model the repaired beams. The quasi-3D shell element method was seen above 
as a good alternative to the more complicated 3D method, and is used in this part of 
the work to model high-temperature cured (HTC) scarf repaired beams [1]. The 
analysis was linear elastic. Although the 2D plane strain idealisation leads to 
prediction stiffer than 3D idealisations, it was also seen as a good method to study the 
behaviour of the beams. Therefore, plane strain models of scarf and overlap repaired 
beams, with the TF loaded in compression and in tension, were constructed. The 
CFRP materials were assumed to be linear elastic in these analyses. However, the 
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repair adhesive was assumed to behave in a linear elastic/plastic manner. The elastic 
properties of the parent materials were presented in Table 1. High-temperature cure 
repairs only were modelled in this work, and the composite that comprised the repair 
patch was assumed to have properties identical to those of the parent material. 
 
3.2 Quasi-3D Shell Element Model 
 
A 1/30 HTC scarf repaired beam was modelled using the modified shell element 
method described in [13]. The model is essentially identical to the shell model of the 
undamaged beam presented above. The scarf repair was modelled by changing the ply 
properties of the elements along the beam’s length as shown in Figure 9. General 
purpose, eight-node, thick shell elements (QTS8) were used. The mesh was identical 
to the one used in the modelling of the undamaged beams, i.e. 70 elements along the 
length and 12 across the width. Composite elements, that identify ply orientation and 
orthotropic properties, were defined. The material properties were assigned to the 
elements as shown in Figure 9. The 1/30 scarf is taken to resemble a series of overlap 
joints. An appropriate number of ‘dummy’ layers are added in the parent zone to make 
up the maximum number of layers which remained constant across the entire model. 
The ‘dummy’ material layers had a very low stiffness, so that they would not influence 
the behaviour of the structure in this region. The load and boundary conditions were 
identical to those used in the previous model of the undamaged beam; on one support 
the beam is rigidly fixed, but allowed to bend horizontally, whilst on the other support 
the beam is allowed to translate along its length and is allowed to rotate in the plane of 
the longitudinal cross-section only. 
 
 
  
Figure 9:  Modified quasi-3D shell element model: 1/30 HTC scarf repair 
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3.3 2D Plane Strain Model 
 
Scarf and overlap repaired beams were modelled using plane strain elements. Due to 
the symmetry of the problem, and in order to save on computer resources, only one 
half of the beam was represented. The majority of elements were eight-node, plane 
strain, quadrilateral elements (QPN8), with a few six-node triangular elements used at 
the adhesive corner and along the scarf length (for the model of scarf repaired beams). 
The mesh density was finer than previously used for the undamaged beams because of 
the various stress concentrations present in the repair geometry. Two elements per ply 
thickness were used to model the facing materials and the repair patch. Four rows of 
elements were used through the thickness of the core. In the repair patch, the adhesive 
was modelled with three rows of elements. 
 
The mesh used for the model of the 1/30 scarf repaired beam is shown in Figure 10, 
the region at the end of the patch being shown in detail. A total of 177 elements was 
used along the length of the beam. The total number of elements used was 2367. The 
mesh used for the model of the 1/10 scarf repaired beam is not shown here as it is 
identical in principle to the one shown in Figure 10, only the mesh density being 
altered where necessary. 
 
                
 
Figure 10:  2D plane strain model: 1/30 scarf repair 
 
The mesh used for the model of the 2-ply overlap repaired beam is similar to the mesh 
used for the scarf repaired beams, although for the overlap model there is uncertainty 
regarding the area where the parent and the repair meet at a pocket of adhesive (see 
Figure 11). The distance between the faces was arbitrarily chosen at 0.5mm, as was 
employed in reference [14]. 
 
 15 
 
 
                 
Core
0.5mm
Pocket of adhesive
 
 
Figure 11:  2D plane strain model: 2-ply overlap repair 
 
The boundary conditions, for all models, are as shown in Figure 10. A symmetry line 
is used on one side of the model. On the other side, the external support is idealised by 
a node that is only allowed to move along the length of the beam. The loading was 
applied to a nodal point located at the centre of the load spreaders. 
 
A linear elastic-plastic model was used for the adhesive, with a modified von Mises 
yield criterion. This criterion is based on the classic von Mises yield criterion but it 
allows the definition of different uniaxial yield stresses in tension and in compression, 
as often shown by polymeric materials. The values of 3.78GPa and 0.4 were used for 
the Young’s modulus and the Poisson’s ratio, respectively (Table 1). A value of 
34.7MPa was used for the uniaxial yield stress in tension [4]. For the epoxy-film 
adhesive used in this study, the ratio of yield stress in compression to tension was 
assumed to be equal to 1.3 [15]; a value of 45.1MPa therefore being adopted for the 
uniaxial yield stress in compression. 
 
4 REPAIRED BEAMS: RESULTS 
 
4.1 Introduction 
 
The results from the FE models are compared below with experimental data that were 
obtained on repaired beams with the repaired TF in compression [1, 2]. Essentially, 
the deflections were determined using a travelling microscope set at an edge of the 
beams and the strain distributions were determined via strain gauges placed on the 
longitudinal centre line of the TF. 
 
4.2 Stiffness Prediction 
 
The deflection field, read at an edge of a 1/30 HTC scarf repaired beam tested with the 
TF in compression, is compared against equivalent computed results in Figure 12. It 
may be seen that the general trends from both the 2D and quasi-3D models are in 
agreement with the experimental data. As expected from the results of the modelling 
of the undamaged beams, the shell model leads to more accurate predictions than does 
the 2D plane strain model. The plane strain assumption leads to deflections that are 
smaller, i.e. the model is stiffer. The predictions, are however, still reasonable and the 
difference is only about 10%. 
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Furthermore, the same trend in results has been seen when the calculated surface 
strain distributions of the scarf and overlap repaired beams were compared with 
experimental results. Thus, the calculated FE results were in good agreement with the 
experiment, although the 2D plane strain model predicted a response that is somewhat 
stiffer than the response calculated by the shell element model. 
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Figure 12: Experimental and computed deflection at an edge: 
1/30 scarf repaired beam 
 
The disagreement between the results calculated by the 2D plane strain model and the 
experiments may be seen as a consequence of the plane strain assumption used in the 
formulation of the 2D element. Indeed, beams subjected to flexure deform in a 
complex manner and Poisson’s ratio effects induce a cross-wise bending that produces 
the well known anticlastic curvature. As mentioned in Section 2.3.3, idealisations that 
assume plane strain conditions in the cross-wise direction may not, therefore, lead to 
accurate predictions. The overall effect is that the beam is too stiff. On the other hand, 
the shell element model does take into account the quasi-3D deformation field and, as 
a result, calculated deflections were seen to be in very good agreement with 
experimentally measured values. 
 
4.3 TF Strain distributions 
 
4.3.1 The 1/30 scarf repair 
A comparison between the experimentally measured and calculated surface strains, on 
the TF of a 1/30 scarf repaired beam in compression, is shown in Figure 13. It may be 
seen that the shell model leads to predictions than are in better agreement with 
experiment. Again, the 2D model leads to predictions 10% below that of the shell 
model, as was seen in the modelling of the behaviour of the undamaged beam. 
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Comments may however be made regarding the shape of the strain distribution, as a 
variation may be seen over the beam’s half-length. The two first plies of the patch 
have the same orientation as the parent material (i.e. [45/-45],[0/90]), which should 
guarantee, because of the low scarf angle used, a smooth load transfer between the 
parent and the repair. However, the repair patch contains an overlapping ply (of [45/-
45] orientation) making the patch one ply thicker than the parent. This has the effect 
of stiffening the repair area, with the strain in the repair (i.e. between 60 to 125mm 
from the loading point) being lower than that in the parent (which is 0 to 60mm from 
the loading point). 
 
From the 2D plane strain model, a strain concentration may be seen at 60mm from the 
loading point. This increase in strain coincides with the start of the overlapping ply, 
and it is located right underneath the adhesive fillet (i.e. point A in Figure 13). In this 
region the load is transferred from the parent, through the adhesive, to the repair patch 
(point B). The resulting shear lag generates a direct stress concentration in the parent, 
in the vicinity of the edge of the overlapping ply, as was shown by Adams et al. [16]. 
In the present study, the strain is increased by 1.35 times the far field strain in the 
parent, whereas a value of 1.3 times the far field strain was quoted in [16] for CFRP 
double-lap joints in tension, the value being taken at the surface of the central 
adherend. 
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Figure 13:  Experimental and computed axial strain distribution: 
1/30 scarf repaired beam 
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4.3.2 The 1/10 scarf repair 
Although the quasi-3D shell element model may be expected to be in better agreement 
with experiment than the 2D plane strain model, the 1/10 HTC scarf repaired beam 
was modelled using the latter approach only, so that the strains developing in the 
repairs could more easily be investigated. 
 
In Figure 14, the measured and calculated surface strain distributions in a 1/10 scarf 
repaired beam with the TF in compression are compared. The experimental results are 
in good agreement with the calculated strain field. Again, the calculated values in the 
repair are somewhat lower than the measured values, due to the plane strain 
assumption. It may be seen that the shape of the calculated strain distribution is 
identical to that of the 1/30 scarf repaired beam (Figure 13), although it has shifted to 
the right. The start of the overlapping ply (point A) is now located 74mm away from a 
loading point (1/10 repairs are smaller than 1/30 repairs). The stress concentration at 
the end of the overlapping ply (point A) is identical to the one calculated earlier, 
which is expected since the geometry of the 1/30 and the 1/10 scarf are similar. 
 
However, an increase in strain may be seen at about 90mm from the loading point, at 
the region where the scarf angle terminates (point C in Figure 14). A similar increase 
in strain was observed at the same location for 1/20 scarf repairs of thick sandwich 
beams by Baker et al. [17]. The origin of this strain increase was suggested [17] to be 
related to the shear deformation of the adhesive within the scarf. The shear strain in 
the adhesive is uniform along the scarf, which means that the displacements of the 
adherends are uniform. However, the adhesive shear strain in the overlap is zero away 
from the end of the overlapping ply, which in turn means that the relative 
displacement between the overlapping ply and the adherend is negligible. The net 
effect is an incompatibility in the strain at the scarf end, at the region where the scarf 
and the overlapping ply meet (i.e. point C). This may result in an increase in tensile 
strain in the repair at this location (Figure 15) and so explain the results seen in Figure 
14. 
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Figure 14:  Experimental and computed axial strain distribution: 
1/10 scarf repaired beam 
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Figure 15:  The strain field in a scarf joint 
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4.3.3 The 2-ply overlap repair 
For the reasons explained above the 2-ply HTC overlap repair was studied with the 2D 
plane strain model only. The surface axial strain distribution in a 2-ply overlap 
repaired beam, with the TF loaded in compression, is shown in Figure 16. The 
calculated values are in good agreement with the experimental results. The 
distribution of strains follows the now expected trend, although the overlap end is 
located at 80mm from a loading point and the entire curve is again shifted to the right, 
when compared with Figure 13. 
 
A slight increase in strain may be observed at a distance approximately 95mm from a 
loading point (point D in Figure 16). The strain distribution may be seen to oscillate 
around -5000µstrain and stabilise at -4000µstrain, which may be attributed to the 
characteristics of load transfer at the butt faces (point D). The same feature exists in 
stepped-lap joints, and it has been shown that the joint geometry in this area has an 
influence on the load transfer mechanism. It was, for example, discussed by Adams et 
al. [14] that the maximum shear stress at the end of the step increases when the butt 
spacing increases, because the proportion of the load transferred by shear, rather than 
by tension across the butt faces, is increased when the thickness of the adhesive 
between the steps increases. Increasing the butt spacing increases the adhesive shear 
stress at the end of the step, but reduces the stress concentration between the butt faces 
[14]. A butt spacing of 0.5mm was assumed in the present work. The effect on the TF 
surface strain distribution is however small. 
 
It may be noted that the far field strain is predicted as -8000µstrain, a value identical 
to the far field strain of the compressive TF of the undamaged beam (see Figure 6). 
The models were computed at the same load, which means that the beams were 
subjected to an identical bending moment, which in turn means that the parent surface 
strains were calculated to be equal. Only the strains in the region where the cross-
sectional properties or the materials have changed (i.e. the repair patch) are different. 
This observation gives confidence in the modelling results, since the different models 
and FE packages give very similar results. 
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Figure 16: Experimental and computed axial strain distribution: 
2-ply overlap repaired beam 
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4.3.4 Summary 
The calculated, normalised (i.e. divided by the far field strain), surface strain 
distribution on the TF of the repaired beams is summarised in Figure 17, for the 
beams with repairs in compression and in tension. 
 
The results for the repaired beam with the TF in tension were not presented 
previously, as they are largely identical (apart from the sign) to the results for the 
repaired beams with the TF in compression. However, it may be noted in Figure 17 
that the increase in strain at the overlap end is lower when the repairs are under tensile 
loads. The normalised value of 1.2 in tension may be compared with the value of 1.35 
in compression. 
 
It may also be noted that the strain in the repair area is about 70% of the far field strain 
for the scarf repaired beams, while it is only about 50% of the far field strain for the 
overlap repaired beams. Thus, as expected, the overlap repaired beams are stiffer than 
the scarf repaired beams. Furthermore, the repaired beams are predicted to be stiffer 
than the undamaged beams, and this was largely verified experimentally [1]. This fact 
is important since thin-skinned sandwich structures may be stiffness designed, rather 
than strength designed. The increase in stiffness may be seen as a result of the 
overlapping ply that was used to strengthen the repairs, making the repair area locally 
thicker than the parent. If a match in the stiffness of the repaired structure with that of 
the undamaged structure is important, a flush scarf patch repair, with no overlapping 
ply, should be considered. 
 
However, it may be seen that the present repair schemes restored the load-carrying 
capability, and protected the damaged area from further damage. It may also be seen 
that the repair patches introduced regions of strain and stress concentrations, which 
may affect the strength of the repaired beams, as discussed later. 
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Figure 17: Normalised surface strain distribution with the TF in compression 
and in tension 
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4.4 Adhesive Shear Strains 
 
4.4.1 Introduction 
In the 2D plane strain approach the detailed repair patch and adhesive geometry can be 
modelled, allowing the distribution of the adhesive shear strain in the different types 
of repairs to be compared. The calculated adhesive shear strain distributions in the 
repair joints are analysed in the present section. The adhesive layer was idealised with 
three rows of element through its thickness, and the values of shear strain were read 
from the elements at the centre of the adhesive layer. The data were then obtained by 
averaging the strain outputs at the Gauss points of each element. 
 
4.4.2 The 1/30 scarf repair 
The adhesive shear strain distribution along the 1/30 scarf repair is shown in Figure 
18, for the repaired TF loaded in compression and in tension. The region A-C (0-
15mm) in Figure 18 corresponds to the overlap region of the scarf repair, whereas the 
region beyond point C corresponds to the actual scarfed region. 
 
The strain distribution at the overlapping ply is much as expected. The shear lag at the 
end of the overlapping ply (0mm) causes a peak in the strain, which progressively 
decreases towards zero at the centre of the overlap (elastic trough). It may however be 
seen that the maximum strain is dependent on the loading mode, i.e. whether the 
repair is on the compressive or tensile face of the beam. The maximum strain at the 
end of the overlapping ply is about -25,000µstrain in compression whereas it is 
60,000µstrain in tension. It may be recalled that the ultimate shear strain of the present 
adhesive is 350,000µstrain (i.e. 35%) [4], and the adhesive would therefore not be 
expected to fail in shear. The overlap terminates at point C, and the adhesive shear 
strain distribution is then seen to be more or less constant in the scarf region, which 
may have been expected owing to the low scarf angle of 1.9° used. A small step in 
strain is seen half-way along the scarf (point C1), and this corresponds to the region 
where the parent/repair ply orientation changes, i.e. from [0/90] to [45/-45]. A [45/-
45] ply has a lower axial stiffness than a [0/90] ply and would therefore attract a lower 
load which, as a result, decreases the adhesive shear stress in the zone adjacent to 
those plies [18]. 
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Figure 18: Calculated adhesive shear strain (1/30 scarf repair) 
(in the centre plane of the adhesive layer) 
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4.4.3 The 1/10 scarf repair 
The calculated shear strain distribution in the 1/10 scarf repair is shown in Figure 19. 
The peak in shear strain at the adhesive corners (point A) in Figure 19 is seen to be 
identical with that in Figure 18 (with the same loading mode). This is not a surprise, 
since the geometry of the overlapping ply is identical, only the scarf angle is different 
and this does not affect the stress transfer at the end of the repair. The shear strain 
distribution at the start of the scarf (point C) is seen, however, to be very different. A 
high shear strain is reached at that location, i.e. 25% for the repair in compression and 
10% for the repair in tension. This peak in strain may have been caused by the sharper 
(6°) angle of the scarf. However, we may recall at this stage that the values were read 
at the centre of the adhesive layer, and it is noted that the adhesive shear strains were 
found to vary significantly through the thickness of the adhesive layer, and along the 
length of the scarf for this model [2]. The region of high strain was found to move 
from the top of the adhesive layer at the start of the scarf, to the bottom of the 
adhesive layer at the end of the scarf, as shown schematically in Figure 20. The origin 
of this peak in strain is questionable, and has not been investigated in the present 
work. If this peak is ignored, the strain distribution in the scarf region may then be 
seen to be approximately constant over the scarf length, although higher than for the 
1/30 scarf repairs as a result of the steeper scarf angle. 
 
4.4.4 The 2-ply overlap repair 
Finally the calculated strain distributions in the overlap repaired beams are shown in 
Figure 21. The distributions are given from one overlap end to the other. It may be 
seen that the variation in shear strains is symmetric, and again the peaks in strain are 
higher when the repaired TF is loaded in tension than in compression.  
 
4.4.5 Summary 
2D plane strain FE models were used to calculate the strain distribution in the 
adhesive layer of scarf and overlap repaired beams. The trends in the strain 
distribution calculated in the present work are in good agreement with published 
analyses previously undertaken on lap and scarf joints. 
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Figure 19: Calculated adhesive shear strain (1/10 scarf) 
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Figure 20: Schematics of the variation in adhesive shear strain 
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Figure 21: Calculated adhesive shear strain (2-ply overlap) 
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4.5 Failure Predictions 
 
4.5.1 Introduction 
It is of interest to now use the calculated results to predict the failure load of the 
repaired beams. However, we may recall that the aforementioned tools were not 
wholly adequate at predicting the structural failure load of the undamaged beams. The 
progression and evolution of damage needs to be taken into account if an accurate 
calculation of the structural failure load is to be made. The same comment is valid for 
the prediction of the failure load of the repaired beams. Moreover, the exercise is more 
complicated here, as other types of failure are possible. These are: 
 
• Failure in the repair patch; 
• Failure in the parent due to the action of the in-plane direct stress in the vicinity of 
the repair area; 
• Failure in the parent due to peeling stresses (i.e. delamination failure); 
• Failure in the adhesive due to the action of shear or peel stresses. 
 
The calculations for these failure modes were not attempted in the present work. 
However, the calculated results may be used to explain the failure modes of the 
repaired beams. It may be recalled that the FE models were representative of the HTC 
repaired beams. Consequently, the present calculated results are only compared with 
the experimental results of the HTC repaired beams. The static failure loci and failure 
loads of the repaired beams [1] are summarised in Figure 22. 
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Figure 22: Summary of the static failure loci and loads 
(For comparison, the undamaged 100mm wide beams failed at 4800N and 4730N 
for the beams tested with the TF in compression and in tension, respectively.) 
 
4.5.2 Surface strains  
The calculated surface strain distributions shown in Figures 13, 14 and 16 may be 
used to assess the failure in the repair or the parent material. 
 
(i) Failure in the repair patch 
The surface strain of the repaired beams was seen to vary over the beams’ half-length. 
An overlap ply was used to strengthen the repairs, making the patch thicker than the 
parent, which has the effect of protecting the repair area, with the strains in the repair 
being lower than in the parent material. The surface strains in the repair patch were 
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seen to be about 70% and 50% of the far field strain for the scarf and overlap repairs 
respectively, irrespective of the loading mode. As a result, the overlap and scarf 
repaired beams are predicted to be stiffer than the undamaged beams and this 
prediction is in very good agreement with the experimental results [1]. Further, since 
the strains in the repair are much lower than in the parent, then failure in the repair is 
therefore not expected. This is again in very good agreement with the experimental 
observations. However, it was also seen from the FE models that the repair patches 
introduced regions of strain concentrations which may affect the strength of the 
repaired beams, as discussed below. 
 
(ii) Failure in the parent due to the action of in-plane direct stress 
It is recalled that a peak in strain was seen at the start of the overlapping plies for all 
repairs (point A in Figures 13, 14 and 16). This peak was due to the load transfer from 
the parent to the repair patch. The increase in strain was seen to be localised to the ply 
immediately underneath the adhesive fillet (i.e. the [0/90] ply of the TF), the strain 
distribution in the [45/-45] ply of the TF being constant over the beams’ half length 
[2]. A strain concentration of 1.35 and 1.2 was established for the repairs in 
compression and in tension, respectively. Failure in the parent might therefore be 
expected in the vicinity of the repair, for all repair schemes and loading modes. 
However, whilst all the HTC repaired beams did indeed fail in the parent CFRP, only 
the 2-ply overlap repair did so in the vicinity of the repair. The scarf repairs failed in 
the parent, but well away from the repair patch.  
 
One possible reason for this discrepancy in location is the well-known evolution of 
damage in CFRP materials that may help to reduce the high stresses present at stress 
concentrations. However, since the overlap repaired beams did fail in the parent at the 
parent/repair patch junction, and therefore very close to the repair patch, another factor 
may be important. It is well known [19] that an overlapping ply in a repair joint leads 
to local bending effects extending a short distance to either side of the end of the 
overlap. In bending, the overlapping ply will tend either push through, or pull away 
from, the core  -  according to whether the repair is in compression or in tension, as 
shown in Figure 23. The overlap repairs (i.e. two-ply thick, [0/90,0/90] orientation), 
being thicker and stiffer that the scarf repairs (i.e. one-ply thick, [45/-45] orientation), 
would be more critical in producing this effect, and this may have caused the failure of 
the overlap repairs at the parent/repair patch junction.  
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Figure 23: Stress state for a repair in tension and in compression 
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(iii) Delamination failure  
In Figure 23 it is shown that when the TF repair is tested in compression the overlap 
tends to push into the core of the beam, whereas it peels away in tension; an opposite 
sign of through-thickness stresses is thus expected. The local bending effect associated 
with the ply-drop is important since it may initiate failure modes such as delamination 
(in tension), or core crushing (in compression), in addition to the direct bending 
failure of the parent (in compression and in tension). Of the aforementioned failure 
modes, delamination failure would be the most difficult to predict. Several methods, 
involving the use of advanced FE analyses, exist and were recently described in the 
literature. Charalambides et al. [15] used a numerical fracture mechanics approach 
based on the virtual crack closure method to predict the failure load of scarf repairs 
that fail by delamination of the overlapping ply. The calculations were in good 
agreement with experimental results, although a crack of known length, at the 
supposed failure location, had to be included in the geometry of the model. Newer 
methods, that use cohesive zone models, do not have this problem, and were recently 
successful at predicting the delamination behaviour of CFRP materials [20, 21]. 
 
4.5.3 Adhesive strains and stresses 
The calculated adhesive shear strain distributions for the three types of repair were 
shown in Figures 18, 19 and 21 and it is tempting to use the adhesive stress and strain 
distributions to assess the failure load of the repaired beam, i.e. for adhesive failure. 
However, several problems then arise, as discussed below. 
 
(i) Failure of the adhesive 
The peak values in strain at the end of the overlapping plies were seen to be dependent 
on the repair design (i.e. scarf or overlap). The strains were identical for the two scarf 
repairs; maximum strains of -2.5% and 6% for the repairs in compression and in 
tension, respectively. The maximum strains calculated for the overlap repairs were, 
however, higher at -4% and 8%, for the repairs in compression and in tension, 
respectively. For each repair type, the highest value of peak strain was for the repair in 
tension. However, it should be noted that these strains are all well below the value of 
the ultimate shear strain of the adhesive, i.e. 35% [4, 15]. Thus, the adhesive is not 
expected to fail at the end of the overlap. Nevertheless, these adhesive shear strain 
values were calculated at the centre of the adhesive layer. It is recognised that the 
calculated shear strain increases closer to the edge of the overlapping ply, since that 
point represents a numerical singularity. As a result, it is impossible to say what the 
true maximum shear strains are in the adhesive. Although it is tempting to use a finer 
and finer mesh to obtain a better approximation, it may not improve the quality of the 
prediction. With the current meshes, the maximum value of adhesive shear strain 
calculated (i.e. at the Gauss point of the element closest to the singularity) was 26% 
for the overlap repair in tension, which is still well below the ultimate adhesive shear 
strain. Thus, it may be concluded that in the present work the theoretical analyses 
agree with experimental observations, since the repairs did not fail by adhesive shear 
failure. 
 
Another aspect to consider is the role of transverse (i.e. peel) stresses acting on the 
adhesive layer. These were considered in a semi-quantitative manner at the start of the 
present studies, where the overlap lengths of the repair patches were chosen to keep 
peel stresses to a minimum [1, 22]. In the present paper, the magnitudes of the 
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transverse stresses in the parent, at the end of the overlap, for one-ply and two-ply 
repairs loaded in tension were calculated from the 2D plane strain analyses. (The one-
ply value being representative of the single fully-overlapping ply present in the scarf 
repairs; whilst the two-ply value is, of course, representative of the overlap patch 
repairs [1].) Values of 32MPa and 40MPa for the transverse stresses present in one-
ply (i.e. representative of the 1/30 and 1/10 scarf repairs) and two-ply (i.e. 
representative of the overlap repair) thick overlaps were deduced, respectively. Thus, 
the overlap repairs may be seen to be more critical in producing transverse stresses 
than the scarf repairs. This may have promoted the failure of the overlap repairs at the 
parent/repair junction, as noted above. However, in both cases these peel stresses are 
significantly lower than the tensile strength of the adhesive, about 60 to 80MPa. Thus, 
the present work confirms the earlier simpler analysis in that peel failure of the 
adhesive is not expected, and indeed was not observed to occur. 
 
(ii) Failure of the adhesive other than at the end of the overlapping ply 
An increase in adhesive shear strain and surface axial strain was seen in the FE results 
of the 1/10 scarf repaired beams (Figures 14, 19 and 20, respectively) at the region 
where the scarf angle terminates. The origin of the increase in surface strain was 
suggested to be related to the shear deformation of the adhesive within the scarf [17]. 
The maximum value of the strain increase in the adhesive is questionable, but a peak 
in the shear strain of 25% is predicted at the scarf/overlapping ply junction [2]. This 
value of strain is nevertheless still below the ultimate shear strain for the adhesive (i.e. 
35%) and the adhesive is therefore not expected to fail at this location. The FE results 
agree with the experimental results since the 1/10 scarf repaired beams failed in the 
parent. 
 
4.5.4 Discussion 
The complex stress transfer mechanism between the parent and the repair patch was 
shown to result in a peak in the surface strain close to the end of the overlapping ply 
of the repairs. The repaired beams were consequently all expected to fail at this 
location. However, only the 2-ply HTC overlap repairs did so. This difference 
between the predicted and experimental results was suggested to be a result of the 
evolution of damage in the materials (e.g. parent and repair) that was not taken into 
account in the present models. Also, the effect of transverse (i.e. peel) stresses was 
shown to be more critical for the overlap repair.  
 
The use of the adhesive shear strain distribution to predict failure was also discussed. 
Assuming that the adhesive fails when its reaches its ultimate shear strain value, it was 
seen that, with the current mesh density, adhesive failure was not predicted to occur. 
A consideration of the peel stresses acting on the adhesive layer also revealed that 
these would not cause adhesive failure to occur. It was however recognised that the 
calculated results are dependent on the fineness of the mesh used, and on the local 
geometry of the end of the overlap. Furthermore, since the adhesive is under a 
complicated state of stress and strain, the choice of a failure criterion to predict 
adhesive failure is an active subject of research; the variation of strain energy density, 
equivalent shear stresses and fracture mechanics have been suggested as appropriate 
failure criteria, amongst others. However, none of these criteria have proven to be 
reliable for all types of joint/repair designs [23].  
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Moreover, the FE method is only an idealisation of reality. Imperfections due to the 
manufacturing process, or voids in the adhesive, are not modelled. This problem is 
further illustrated in Figure 24. A ‘real’ repair (a cross-section of end of an overlap 
repair patch) is likely to have materials that are far from perfect. On the other hand, 
the corresponding idealisation is defined by precise geometric entities, with no 
defects. There exist no guidelines at present as to whether ‘defects‘ should or should 
not be taken into consideration to be able to predict accurately the failure load of 
repairs. Also, the local geometry of the materials at the overlap end has been shown to 
have a considerable importance in the determination of the strength of the adhesively 
bonded joints and repairs [24].  
 
  
 
 
 
 
 
 
 
    Figure 24:  Idealisation of repairs 
 
 
5 CONCLUSIONS 
 
In conclusion, the FE method has been partially successful in predicting the 
performance of undamaged and repaired beams. The flexural stiffness of the beams 
was successfully modelled, although the prediction of the failure load has been more 
problematic. This was identified as being largely due to the complex nature of CFRP 
materials and to the inadequacy of the existing methods to predict the failure load of 
adhesive joints. It may be noted that a method [2], involving the use of small coupons 
that mimic the way sandwich beams deform, has been developed and has successfully 
predicted the failure load and failure loci of the undamaged and repaired sandwich 
beams 
 
Quasi-3D and 2D models were seen to be complementary in this study. The quasi-3D 
shell element model was simple to set up (i.e. no complex geometry in the repair area) 
and best suited to predicting the overall deformation pattern of a chosen repaired 
structure. Even though quasi-3D composite shell elements can identify layer 
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orientations and take into account mechanical couplings, their nature leads to a loss of 
the details being modelled. 
 
The main feature of 2D plane strain models is their ability to describe a planar 
geometry accurately without increasing significantly the computational costs. The 2D 
plane strain model allows the careful evaluation of several repair designs (e.g. effect 
of repair stacking sequence, adhesive thickness and properties, etc.). This method is 
therefore suitable to qualitatively design of the repair patches. However, since the FE 
technique is a method based on an idealisation of geometry, the results will only be as 
good as the idealisation. 
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NOTATION 
 
ALPHABETICAL SYMBOLS 
Ei  Axial modulus in the i-direction 
Gij  Shear modulus in the i-j plane 
Si  Tensile or compressive strength in the i-direction 
Sij  Shear strength in the i-j plane 
 
GREEK SYMBOLS 
α  Scarf angle 
ε  Axial strain 
εu  Axial ultimate failure strain 
γay  Adhesive plastic shear strain 
γaf  Adhesive failure shear strain 
νij  Poisson’s ratio in the i-j plane 
σi  Axial stress in the i-direction 
µstrain Micro-strain (µm/m) 
τ  Shear stress 
τay  Adhesive plastic shear stress 
τaf  Adhesive failure shear stress 
τmax  Maximum shear stress 
 
ABBREVIATIONS 
BF  Bag Face of the sandwich beams 
CFRP  Carbon Fibre-Reinforced Plastic 
FE  Finite Element 
HTC  High-Temperature Cure repair system 
TF  Tool Face of the sandwich beams 
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